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■ This study numerically investigated the expected 
dynamic seismic response demands of multistory 
precast concrete frame structures using a novel re-
inforced-concrete buckling-restrained brace compo-
nent.

■ A set of 26 braced frame archetypes were subject-
ed to a set of 44 scaled ground motion records to 
quantify the maximum interstory drift, design story 
drift, brace ductility, cumulative brace ductility, and 
end gap closure.

■ It was found that braces designed for a maximum 
design story drift of 4% and demonstrating ductility 
capacities of at least 51 and cumulative ductility ca-
pacities of at least 297 are needed for precast con-
crete braced frame structures in high seismic regions 
to satisfy the median collapse performance criteria 
in the Federal Emergency Management Agency’s 
FEMA P695.

Several studies have investigated buckling-restrained 
braced frame structures for seismic regions.1–8 These 
studies have primarily focused on frames with steel 

buckling-restrained braces. More recently, Oh et al.9,10 
proposed a novel reinforced-concrete buckling-restrained 
brace for use in an all–precast concrete lateral-load-resisting 
braced frame. Preliminary numerical9 and experimental10 
investigations on this concrete brace have shown that critical 
failure modes must be addressed for the desired ductile 
behavior of the brace to be achieved. Continued experimen-
tal work toward this goal will require an assessment of the 
expected seismic demands for which the braces need to be 
designed and validated through testing. This paper quantifies 
these brace performance demands by numerically evaluating 
the nonlinear dynamic response of a set of 26 all–precast 
concrete braced frame archetypes.

Previous research

A recent numerical study8 evaluated the seismic design of 
precast concrete building frames with traditional steel buck-
ling-restrained braces using the procedures established by the 
Federal Emergency Management Agency’s Quantification of 
Building Seismic Performance Factors (FEMA P695).11 The 
numerical results of this study supported a response modifica-
tion coefficient (R factor) of 8, the same value used in ASCE/
SEI 7-22 for steel buckling-restrained braced frames.12

Kessler et al.13 investigated the welded gusset plate connec-
tion between a steel buckling-restrained brace (simulated us-
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ing a hydraulic actuator) and the beam and column members 
of a precast concrete building frame. This research revealed 
practical challenges to incorporating steel braces in precast 
concrete construction, mainly caused by possible misalign-
ments and tolerance differences between the steel brace and 
the precast concrete frame.

Oh et al.9 introduced and numerically investigated the 
isolated behavior of a novel reinforced-concrete buckling-re-
strained brace. This recent study is closely related to the 
current paper, which focuses on the seismic demands on this 
brace when it is used within a multistory precast concrete 
frame structure subjected to dynamic loading. Figure 1 
shows the single brace subassembly model investigated by 
Oh et al.9 and also depicts the primary components of the 
brace. ASTM A70614 reinforcing bars are designed as ductile 
yielding energy-dissipation components of the brace under 
reversed-cyclic loading, where unbonded (plastic-wrapped) 

lengths of the bars at each end of the brace are axially 
separated from the surrounding concrete. Under tension and 
compression loading of the brace, the axial deformations of 
the energy-dissipation bars are intended to be evenly (that is, 
near uniformly) distributed over this unbonded length. The 
unbonded length is designed so that the bars undergo large 
postyield strains in tension, but the maximum strains are 
limited so that fracture of the steel does not occur during the 
expected deformations of the brace in tension.

As an important detail, a small gap (a few inches wide) is 
designed at each end of the brace to allow the energy dissipa-
tion bars to yield in compression (that is, for the bars to freely 
compress) without the brace concrete contacting the adjacent 
column or beam corbel zone. This feature is important in 
developing a nearly symmetric tension-compression behavior 
of the brace and also limiting damage to the brace ends and 
corbel concrete.

Work point

Centerline

Elastic end block
Fixed support surface
Work point

Corbel
End gap

Pinned
support

Energy-dissipation bar

Elastic
column

Lateral force and
displacement

Unbonded length of
energy-dissipation bar

Corbel

Brace
Energy-
dissipation bar

End gap

Energy-dissipation bar

Terminated
reinforcing bar

Spiral confinement

Octagonal section
Circular design section

1.5 in. cover

Figure 1. Isolated reinforced-concrete buckling-restrained brace subassembly, section view of brace, and brace-to-frame connec-
tion at end gap. Note: 1 in. = 25.4 mm.
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Additional longitudinal reinforcing bars are bonded along the 
entire length of the brace to prevent the energy dissipation 
bars from yielding in the bonded (midlength) region of the 
brace. This reinforcement does not cross the end gaps of the 
brace (referred to as terminated reinforcement in the remain-
der of this paper). Thus, the axial stiffness, strength, and duc-
tility of the brace are governed primarily by the deformations 
of the energy-dissipation bars within the unbonded regions 
and the end gaps.

Preliminary experiments of this novel brace were recently 
conducted by Oh et al.10 in an isolated diagonal brace test set-
up similar to the arrangement shown in Fig. 1. The full intend-
ed ductile behavior of the brace could not be reached in these 
tests due to premature local buckling of the energy-dissipation 
bars over their unsupported lengths in the end gap regions. 
Thus, the design of these gaps is critical to the performance of 
the brace. The gaps must be sufficiently wide to prevent con-
tact at the brace ends over the expected deformations of the 
brace in compression but not too wide so that local buckling 
of the energy-dissipation bars within this region can be pre-
vented. The expected seismic demands to guide this and other 
design aspects of the brace are quantified in the current paper.

Research goals, contributions,  
and scope

To advance the exploration of all–precast concrete buck-
ling-restrained braced frames, this study seeks to numeri-
cally investigate the dynamic demands on multistory frame 
structures utilizing the proposed brace subjected to earthquake 
loading. These quantified demands are intended to guide the 
design and testing of brace and frame specimens in future 
experimental research. To this end, 26 precast concrete braced 
frame archetypes were designed with features similar to those 
of the precast concrete archetypes with traditional steel buck-
ling-restrained braces in Oh et al.8 These frame designs using 
the novel braces were compared with the previous archetype 
designs using steel braces8 in terms of brace yielding areas 
and frame lateral stiffnesses. Then, incremental dynamic 
time-history analyses were conducted to quantify the max-
imum brace ductility, cumulative brace ductility, interstory 
drift, design story drift, and gap closure demands for the 
novel brace. In these analyses, all braces were assumed to be 
adequately designed to prevent undesirable failure mecha-
nisms (for example, buckling of the energy-dissipation bars), 
such that the analysis results establish the minimum capacities 
that the braces need to be designed and validated for in future 
experimental research.

Overview of archetype braced frames

The 26 all–precast concrete braced frame structure archetypes 
investigated in this paper were designed for the most critical 
building configurations and performance groups investigated 
by Oh et al.8 for precast concrete frames with steel buck-
ling-restrained braces. These archetypes span the expected 
design space of the proposed structural system, with different 

building plans, numbers of braced frames, brace configura-
tions, and numbers of stories.

The archetypes were based on office and industrial building 
configurations with approximately 30,000 ft2 (2800 m2) floor 
areas and 15 to 25 ft (4.6 to 7.6 m) story heights.8 The first 
office layout placed the braced frames toward the building 
core to intentionally introduce accidental torsion effects per 
ASCE/SEI 7-16.15 The addition of torsional effects in these 
archetypes increased the lateral force demands compared with 
the same structure without torsional effects. All other building 
configurations placed the braced frames toward the outside of 
the building such that no accidental torsion effects were in-
cluded in the design of these structures. Three different brace 
elevation configurations were investigated:

•	 single diagonal

•	 alternating single diagonal (also known as zigzag)

•	 chevron

The archetypes were then separated into seven different 
performance groups for system evaluation. The remainder of 
this paper labels each archetype using the same four-character 
identifiers in Oh et al.,8 where the first character is the build-
ing plan number, the next two characters indicate the brace 
configuration (SD for single diagonal, ZZ for zigzag, and CC 
for chevron), and the last character is the number of stories. 
For example, archetype 1SD3 is a three-story frame with 
single-diagonal braces in building plan layout 1.

The precast concrete beam and column members of each ar-
chetype frame were designed using deformed steel reinforce-
ment with no prestressing, considering details that emulate 
monolithic cast-in-place reinforced-concrete structures. Joint-
ed (or nonemulative) precast concrete buckling-restrained 
braced frame structures16 were not included in this study, but 
these types of precast concrete systems may be investigated in 
the future.

As discussed in Oh et al.,8 large design axial tension forces in 
the beams and columns necessitated the use of higher-grade 
steel bars to minimize the member sizes while satisfying 
maximum reinforcements ratios. As such, the specified design 
yield strength of the reinforcing bars f

sy
 used within the beams 

and columns was 80 ksi (550 MPa). The specified design 
compressive strength of the concrete ′fc  was 6 ksi (40 MPa).

The use of higher grade energy-dissipation bars is not desir-
able because this would reduce the brace axial stiffness by 
reducing the required bar areas to achieve the brace design 
axial strength. As such, the energy-dissipation bars in the 
buckling-restrained braces were designed with a minimum 
yield strength f

y,min
 of 60 ksi (410 MPa) and maximum yield 

strength f
y,max

 of 78 ksi (540 MPa), corresponding to the re-
quirements of ASTM A70614 for Grade 60 (410 MPa)  
reinforcing steel.
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Design of archetype braced frames

To target similar lateral load behaviors, the seismic perfor-
mance factors used in the design of the archetypes in this 
paper matched the values used for the archetypes with steel 
buckling-restrained braces in Oh et al.,8 which include an 
R factor of 8, deflection amplification factor C

d
 of 8, and sys-

tem overstrength factor Ω
0
 of 2.5. Through this approach, the 

numerical results of the current study are intended to establish 
the minimum brace capacities (for example, brace ductilities) 
necessary for the future experimental evaluation and vali-
dation of these seismic performance factors for all–precast 
concrete buckling-restrained braced frames.

Design forces

The equivalent lateral force procedure from ASCE/SEI 7-16 
with design spectral accelerations corresponding to seismic 
design category D

max
 (as in Oh et al.8) was used to represent 

the design of structures in high seismic areas. All archetypes 
were designed for previously defined gravity loads,8 with 
the total average roof and floor dead loads taken as 160 lb/ft2 
(7660 N/m2), including a precast concrete double-tee beam 
flooring system with a 4 in. (100 mm) thick cast-in-place 
concrete topping. The roof and floor average live loads were 
taken as 20 and 100 lb/ft2 (960 and 4800 N/m2), respectively.

Design of braces

For each archetype frame, once the ASCE/SEI 7-16 equiva-
lent lateral forces were calculated, the factored brace design 
axial forces N

u
 were determined. Because the same archetype 

layouts and loads were used, the factored concrete brace 
design forces for the archetypes in this paper were identical 
to those for the steel braces in previous research.8 The size 
and number of the energy-dissipation bars in the concrete 
braces were then chosen to meet the required yielding areas 
based on the assumed minimum yield strength, f

y,min
 of 60 ksi 

(410 MPa), with the following considerations:

•	 Larger bar sizes were preferred because they are less 
susceptible to buckling and generally reduce congestion 
in the brace cross section.

•	 Per ACI 318-1917 section 25.4.4.1, the maximum size of 
the energy-dissipation bars was limited to no. 11 (36M) 
for bars with headed end anchorages.

•	 At least four energy-dissipation bars were used to provide 
stability of the bar group across the end gaps where they 
are not laterally supported.

•	 An even number of energy-dissipation bars was used (this 
selection generally resulted in better placement of the 
bars through the reinforcement in the corbel, beam, and 
column regions).

The total area of the terminated longitudinal reinforcement 

A
sT

 was designed to be approximately 30% to 40% of the total 
provided energy-dissipation bar area A

ED
. Then, the gross 

cross-sectional area of each brace was determined to result in 
a total longitudinal steel reinforcement ratio (including all the 
energy-dissipation and additional terminated bars) of approx-
imately 6%.

The required unbonded length of the energy-dissipation bars 
at the ends of each brace was determined to ensure that the 
maximum tensile strain of the bars does not reach the design 
usable tensile strain limit ε

s,max
 at a maximum design story 

drift Δ
d,max

 of 3%. Based on cyclic uniaxial testing of ener-
gy-dissipation bars in Aragon et al.,18 the usable tensile strain 
limit ε

s,max
 for the bars was taken as 0.06. Further information 

on the design of the unbonded lengths, which used a sim-
plified shear frame model to determine the brace elongation 
from the maximum design story drift, can be found in Oh et 
al.9 The validity of this simplified shear frame model is evalu-
ated later in this paper.

Design of beams and columns

The beam and column components of each archetype frame 
were designed based on the applied gravity loads and the 
adjusted brace forces following the capacity-based approach 
outlined in Oh et al.8 with ASCE/SEI 7-16 load combinations 
2, 6, and 7. The adjusted brace forces were calculated using 
a maximum yield strength f

y,max
 of 78 ksi (540 MPa) and an 

assumed strain-hardening factor ω of 1.3 for the energy-dis-
sipation bars to represent the maximum axial forces in the 
braces during an earthquake.

The beams and columns were designed as rectangular sec-
tions with ASTM A70614 Grade 80 (550 MPa) longitudinal 
reinforcement ratios between 1% and 6% (ACI 318-19 section 
18.7.4.1). All beams were designed with a 4 in. (100 mm) 
thick cast-in-place concrete topping slab assumed to act 
compositely with the beam. Based on the proposed casting of 
the novel brace within an entire frame story unit as described 
in Oh et al.,9 the beams and columns in each story unit were 
designed to have the same width to ease forming and casting 
at the precast concrete production facility. However, in cases 
where the frame design was controlled by the allowable drift 
requirements of ASCE/SEI 7-16, the beam and column widths 
were optimized to minimize frame overstrength, thus resulting 
in more critical structures for the dynamic response analyses.

Effective linear-elastic braced frame 
analyses for allowable drift design

Each archetype frame was modeled linear elastically with 
effective (reduced) stiffness factors for the beam, column, and 
brace components to provide a representation of the maxi-
mum story drifts at the design equivalent lateral force level. 
All models had fixed column bases and fixed beam-to-column 
connections. The beams and columns were modeled using the 
same axial and flexural effective stiffness reduction factors as 
those in Oh et al.8
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Each brace was modeled using a single linear-elastic truss 
element extending from work point–to–work point (at the 
intersections between the brace and column/beam center-
lines [Fig. 1]). The cross-sectional area of this truss element 
was taken as the total energy-dissipation bar area A

ED
, with 

modulus of elasticity of steel E
s
, and a stiffness modification 

factor KF was applied considering the axial stiffnesses of the 
unbonded and bonded regions of the brace in series as calcu-
lated in Eq. (1).

	 KF =
LT
Lub

kb
kub + kb

⎛

⎝⎜
⎞

⎠⎟ � (1)

where

L
T
	 = work point–to–work point diagonal length of brace

L
ub

	 = total length of unbonded regions at both ends of 
brace

k
b
	 = effective axial stiffness of bonded region = E

b
A

b
/L

b

E
b
	 = effective modulus of elasticity of bonded region

A
b
	 = effective area of bonded region

L
b
	 = length of bonded region

k
ub

	 = effective axial stiffness of unbonded regions = 
E

s
A

ED
/L

ub

The effective stiffness for the unbonded regions k
ub

 was 
calculated based solely on the energy-dissipation bars. For 
the bonded region, different effective stiffnesses were used in 

tension and in compression. In tension, the bonded region will 
crack. Thus, the effective area A

b
 was calculated as the total 

area of the longitudinal reinforcing steel A
s
, which includes 

the area of the energy-dissipation bars A
ED

 and the area of the 
additional terminated reinforcing bars A

sT
, and the modulus 

of elasticity E
b
 was taken as the steel modulus of elasticity 

E
s
. In compression, the bonded region was assumed to be 

uncracked. Thus, A
b
 was calculated as the uncracked trans-

formed area A
ut
 of the reinforced-concrete section and E

b
 was 

taken as the concrete modulus of elasticity E
c
. Based on these 

assumptions, the calculated KF values for the braces in the 
archetype frames ranged from 1.20 to 1.36 in tension and 2.24 
to 2.46 in compression.

The effective brace stiffnesses calculated using Eq. (1) were 
verified using the continuum nonlinear finite element model19 
described in Oh et al.9,10 Figure 2 shows one of these stiffness 
comparisons, where strain was calculated as the total axial de-
formation between the work points of the brace divided by the 
work point–to–work point length L

T 
and stress was calculated 

as the total brace axial force divided by the energy-dissipation 
steel area A

ED
. The calculated stiffnesses were reasonably close 

to (within 5% of) the stiffnesses from the finite element models. 
Experimental validation of the finite element model stiffnesses 
for the reinforced-concrete brace can be found in Oh et al.10

The end zones of each brace from the face of the corbel to 
the work point location at each end were not designed in this 
research. Instead, these regions were assumed to have the 
same effective stiffnesses as the middle-bonded region of the 
brace in both tension and compression. Subsequently, the 
lengths of these end zones were added to the length of the 
bonded region. Modeling the end zones in this way resulted 

Figure 2. Comparison of effective stiffnesses from design equations and continuum finite element model (FEM) results. Note: 1 
in. = 25.4 mm; 1 ksi = 6.895 MPa.
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in a lower effective stiffness and was deemed conservative for 
the allowable drift checks. This is because the end zones of a 
brace have larger cross sections and more reinforcement than 
the brace and may crack less than the middle-bonded region.

Debonding of the energy-dissipation bars due to penetra-
tion of yielding into the bonded regions can occur under 
reversed-cyclic loading. The unbonded lengths of each brace 
were increased to account for this effect because it results in 
a reduced effective stiffness for the brace. The total additional 
unbonded length L

ub,add
 was calculated using Eq. (2).

	 L
ub,add

 = 4α
b
d

b
� (2)

where

α
b
	 = coefficient quantifying effective additional debond-

ed length

d
b
	 = energy-dissipation bar diameter

The factor 4 in Eq. (2) accounts for the four transition zones 
between the unbonded and bonded regions for the energy-dis-
sipation bars along the length of the brace. ACI 550.720 gives 
a range of 2.0 to 5.5 for the coefficient quantifying effective 
additional debonded length α

b
. Other research21 has shown α

b
 

to be approximately 2.0 for energy-dissipation bars stressed 
well into the nonlinear range. These α

b
 values were deter-

mined based on experimental tests where the reinforcing bars 
were stressed under flexural cyclic loads. In contrast, the en-
ergy-dissipation bars in the proposed brace are stressed under 
axial full-reversed cyclic load, which may result in greater 
debonding than that observed in previous flexural tests. Given 
the lack of more representative experimental data, the mid-
range value of the coefficient quantifying effective additional 
debonded length α

b
 of 3.75 from ACI 550.720 was used in the 

modeling of the braces in this research. Future experimen-

tal work should investigate the additional debonded lengths 
under the loading conditions that the brace energy-dissipation 
bars are expected to experience.

As shown in Fig. 2 and experimentally demonstrated in Oh et 
al.,10 cracking of the bonded regions resulted in a significantly 
smaller stiffness of the reinforced-concrete braces in tension 
than in compression. Therefore, asymmetric braced frame 
layouts (those with single-diagonal and zigzag brace config-
urations in this research) had significantly larger story drifts 
when the direction of lateral loading coincided with all or 
more of the braces being subjected to tension forces. To pre-
vent the smaller tension stiffness of the braces from dominat-
ing the drift control design of the archetypes with asymmetric 
brace layouts, the effective linear-elastic models of these 
structures considered two superimposed frames with braces 
oriented in opposite directions, assuming rigid floor and roof 
diaphragms for the buildings. Figure 3 shows a representation 
of this modeling technique, which was possible because all 
the archetype building layouts had an even number of braced 
frames. The gravity loads were also doubled for these dou-
ble-frame analyses.

As described in Oh et al.,8 the allowable drift design for each 
archetype frame was conducted iteratively due to the depen-
dence of the beam and column effective moment of inertia 
(flexural stiffness) reduction factors on the factored design 
axial force P

u
 and bending moment M

u
. If the calculated 

story drifts exceeded the allowable limit per ASCE/SEI 7-16 
Table 12.12-1 (2.5% drift for structures with four or fewer 
stories and 2% drift for all other structures), the energy-dissi-
pation bar areas of the braces, cross-section dimensions of the 
braces (to maintain a total longitudinal steel reinforcement ra-
tio of approximately 6%), and the cross-section dimensions of 
the columns over the entire frame height were scaled up until 
the drift requirements were met. Beam sizes were not changed 

Figure 3. Superimposed asymmetric frames.

SuperimposedFrame 1 Frame 2

Pinned end
Buckling-restrained 
brace



64 PCI Journal  | November–December 2024

because the beam dimensions were found to have a relatively 
small effect on the maximum story drifts of the frames.

Comparison of archetype frame  
designs with reinforced-concrete  
and steel braces

Table 1 compares the brace yielding areas, yielding lengths, 
and maximum design story drifts for the archetype frames 
investigated in this paper with the same archetypes designed 
using conventional steel buckling-restrained braces in Oh et al.8 
(values shown in parentheses). Structures with drift-controlled 
designs were not included in the drift comparisons because the 

Table 1. Comparison of archetype frame designs with reinforced-concrete and steel braces

Performance 
group

Archetype design 
identifier*

Range of brace  
yielding areas, in.2

Range of brace  
yielding lengths, in.

Maximum 
drift, %

Ratio of  
maximum drifts

1

1SD1 3.2 (4.9) 89 (197) 1.43 (0.98) 1.47

1SD2 4.7 to 6.2 (6.5 to 9.9) 89 to 95 (170 to 188) 1.69 (1.72) 0.98

1SD3 4.0 to 7.6 (6.2 to 12.2) 91 to 93 (164 to 198) 2.13 (1.37) 1.55

2

2SD1 2.4 (3.8) 87 (186) 1.01 (1.21) 0.84

2SD2 3.2 to 4.7 (5.1 to 7.6) 89 (186 to 192) 1.16 (1.45) 0.80

2SD3 3.2 to 6.0 (4.8 to 9.4) 89 to 93 (182 to 193) 1.52 (1.59) 0.95

4SD1 4.0 (6.1) 140 (382) 1.72 (1.35) 1.27

4SD2 4.0 to 6.0 (6.3 to 9.2) 140 (336 to 395) 1.77 (1.45) 1.22

3

1SD6† 4.0 to 9.4 (4.7 to 14.7) 89 to 99 (158 to 190) n/a n/a

1SD9† 4.7 to 15.6 (4.0 to 16.6) 89 to 99 (129 to 198) n/a n/a 

2SD6† 3.2 to 7.6 (3.6 to 11.3) 89 to 95 (176 to 201) n/a n/a 

2SD9† 2.4 to 7.6 (3.1 to 12.6) 87 to 93 (154 to 215) n/a n/a 

4

2CC1 3.2 (2.9) 89 (202) 1.45 (1.46) 0.99

2CC2 3.2 to 4.0 (3.8 to 5.9) 89 to 91 (191 to 199) 1.72 (1.49) 1.16

2CC3 3.2 to 4.7 (3.6 to 7.1) 89 to 91 (186 to 199) 1.76 (1.45) 1.21

5CC1 3.2 (3.3) 80 (311) 2.18 (1.40) 1.55

5CC2 3.2 to 4.7 (3.5 to 5.0) 80 (302 to 310) 1.65 (1.54) 1.07

5

2CC4 3.2 to 4.7 (3.2 to 3.7) 89 to 91 (184 to 201) 0.90 (1.61) 0.56

2CC6† 4.0 to 6.2 (2.7 to 8.5) 89 to 95 (178 to 202) n/a n/a 

2CC9† 4.7 to 7.9 (2.3 to 9.6) 89 to 95 (163 to 196) n/a n/a 

6

2ZZ2 3.2 to 4.7 (5.1 to 7.6) 89 (186 to 192) 1.65 (1.52) 1.08

2ZZ3 3.2 to 6.0 (4.8 to 9.4) 89 to 93 (182 to 193) 1.88 (1.60) 1.17

4ZZ2 4.0 to 6.0 (6.3 to 9.2) 140 (336 to 395) 1.86 (1.52) 1.23

7

2ZZ4 3.2 to 6.2 (4.3 to 10.1) 89 to 95 (180 to 194) 2.01 (1.65) 1.21

2ZZ6 4.0 to 7.9 (3.6 to 11.3) 89 to 95 (178 to 196) 1.89 (1.97) 0.96

2ZZ9† 3.2 to 10.0 (3.1 to 12.5) 89 to 93 (155 to 215) n/a n/a 

Source: Data for values in parentheses from Oh et al.8

Note: 1 in. = 25.4 mm; n/a = not applicable.

* The first character is the building plan number, the next two characters indicate the brace configuration (SD for single diagonal, ZZ for zigzag, and CC 

for chevron), and the last character is the number of stories.

† Drift-controlled design (maximum drift comparison not relevant).
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designs of these structures were adjusted to satisfy the ASCE/
SEI 7-16 allowable drift limit. Overall, the yielding steel areas 
were smaller and the yielding lengths (unbonded lengths plus 
end gap widths) were shorter for the reinforced-concrete braces 
compared with the steel braces in equivalent structures. The 
maximum design story drifts were on average about 20% great-
er than the archetypes using steel braces even after considering 
superimposed double frames to eliminate effects from asym-
metric brace layouts and designing columns with more efficient 
rectangular cross sections, rather than square column sections 
for the archetypes in Oh et al.8

The greater maximum story drifts of the archetype frames using 
reinforced-concrete braces indicate smaller lateral stiffnesses 
of these frames compared with frames using conventional steel 
buckling-restrained braces. This is a potential disadvantage 
because it results in more drift-controlled designs for the new 
system, driven by two factors. First, the conventional braces 
in Oh et al.8 were designed using steel yielding cores (plates) 
with a minimum yield strength of 38 ksi (260 MPa) while 
the proposed concrete braces were designed using Grade 60 
(410 MPa) energy-dissipation reinforcing bars. The larger steel 
yield strength resulted in reduced yielding steel areas (and thus, 
reduced axial stiffnesses) for the concrete brace despite being 
designed for the same axial force as a conventional steel brace. 
Second, cracking of the bonded regions in the concrete braces 
led to much smaller stiffnesses in tension versus compression 
compared with the difference in the tension versus compression 
stiffnesses of a steel brace.

To investigate potential ways to increase the axial stiffness of 
the reinforced-concrete brace, Fig. 4 shows the effects of the 
terminated reinforcement ratio and energy-dissipation steel 
yield strength (reinforcing bar grade) on the brace stiffnesses in 
tension and compression (for constant brace axial force) using 
Eq. (1). The amount of terminated reinforcement has a small 
effect on the brace stiffness, with the increase in steel ratio 

reaching unrealistic values before any significant increase in the 
tension stiffness of the brace is achieved. In contrast, the yield 
strength of the energy-dissipation bars has a substantially great-
er effect on the brace stiffnesses, with smaller yield strengths 
resulting in larger yielding steel areas and brace stiffnesses for a 
given brace axial force. Future research may consider investi-
gating energy-dissipation bars with yield strengths smaller than 
60 ksi (410 MPa); however, lack of availability of lower grade 
reinforcing bars, especially in larger diameters, is likely a key 
limiting factor for practical application in the United States.

Nonlinear numerical modeling

Nonlinear models of the archetypes were developed in the Open 
System for Earthquake Engineering Simulation (OpenSees) 
structural analysis platform. Archetypes with asymmetric (sin-
gle-diagonal and zigzag) brace configurations were modeled 
as two superimposed frames with doubled gravity loads and 
seismic masses, similar to the linear-elastic drift analysis mod-
els. The seismic masses were assigned to the work point nodes 
of the frame. All models had fixed column bases with tributary 
dead D and live L gravity loads applied per the expected median 
gravity load combination 1.05D + 0.25L. To account for sec-
ond-order effects from gravity loads not tributary to the frame, 
a leaning column was pin-connected to the frame, similar to 
the nonlinear modeling of the archetypes with steel braces in 
Oh et al.8 The beam and column components of the archetypes 
were modeled using axial-flexural fiber elements with longitu-
dinal steel and concrete fibers. Details on the modeling of these 
components can be found in Oh et al.8 and are not repeated 
herein. Though the archetypes analyzed in Oh et al.8 use steel 
buckling-restrained braces, the validation of the numerical mod-
eling of these structures based on shake table tests of multistory 
frames is a testament to the accuracy in the modeling of not just 
the braces but also the beams and columns. The same modeling 
parameters were adopted for the beams and columns of the 
archetypes with reinforced-concrete braces herein.

Figure 4. Effects of terminated steel reinforcement ratio and energy-dissipation steel yield strength on brace axial stiffness for 
constant brace axial force. Note: 1 in. = 25.4 mm; 1 kip = 4.448 kN; 1 ksi = 6.895 MPa.
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Rather than separately modeling the bonded, unbonded, and 
end zone regions, each brace was modeled using a single truss 
element with area equal to the total area of the energy-dissipa-
tion bars A

ED
 and pinned at the work point locations (in other 

words, an element length equal to L
T
), similar to the effective 

linear-elastic drift model described previously. However, unlike 
the effective linear-elastic brace element, the nonlinear brace 
element could not be modeled with a single stiffness modifica-
tion factor KF. Instead, the Series material type in the structural 
analysis platform was used to combine the stiffnesses of the 
bonded and unbonded regions of the brace. In this material 
type, the stresses of the constituent materials are equal while 
the strains and flexibilities are added in series.

Each Series element modeling a brace comprised the Elastic 
and Steel4 material types in the structural analysis platform 
(Fig. 5). The Elastic material accounted for the stiffness of 
the middle-bonded region and the two end regions. Similar to 
the effective linear-elastic model described previously, these 
regions of the brace were assumed to be in the uncracked 
linear-elastic range of behavior in compression (with stiff-
ness equal to the concrete modulus of elasticity E

c
) and in 

the cracked linear-elastic range of behavior in tension (with 
stiffness equal to the steel modulus of elasticity E

s
). The Steel4 

material represented the unbonded regions of the brace, with 
the nonlinear cyclic stress-strain behavior for ASTM A70614 
Grade 60 (410 MPa) reinforcing bars, assuming that all of the 
nonlinear behavior of the brace concentrated in the unbonded 
regions. The length of the unbonded regions was increased by a 
total additional unbonded length L

ub,add
 due to debonding of the 

energy-dissipation bars as given by Eq. (2).

The material stiffnesses of the bonded and unbonded regions 
(represented by the Elastic and Steel4 materials, respectively) 
were scaled using length and area ratios such that the com-
bined Series truss element with area equal to A

ED
 and length 

equal to L
T
 provided a nonlinear axial force versus deforma-

tion behavior equivalent to the actual brace. Table 2 shows 
the equations used to calculate the material stiffness multi-
pliers for the bonded and unbonded regions of the brace. The 
stress-strain relationships shown in Fig. 5 for the bonded and 
unbonded regions were scaled using these multipliers. This 
simplified nonlinear structural analysis modeling approach for 
the braces was validated using the continuum nonlinear finite 
element model described in Oh et al.9

Analysis methodology for demand 
quantification

The design of the archetypes and selection of the ground mo-
tion records used in the dynamic analyses were important fac-
tors affecting the demand quantification. For example, struc-
tures with unrealistic overstrength or ground motions with 

Figure 5. Materials used in Series element for nonlinear modeling of the braces—Elastic material for bonded regions and Steel4 
material for unbonded regions—prior to application of stiffness multipliers. Note: 1 in. = 25.4 mm; 1 ksi = 6.895 MPa.
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Table 2. Material stiffness multipliers for bonded and 
unbonded brace regions

Region Compression Tension

Bonded (Elastic)
A

ut

A
ED

⎛

⎝
⎜

⎞

⎠
⎟

L
T

L
b

⎛

⎝
⎜

⎞

⎠
⎟

A
s

A
ED

⎛

⎝
⎜

⎞

⎠
⎟

L
T

L
b

⎛

⎝
⎜

⎞

⎠
⎟

Unbonded 
(Steel4)

L
T

L
ub

⎛

⎝
⎜

⎞

⎠
⎟

Note: AED = area of energy-dissipation bars; As = total longitudinal rein-

forcing steel area of brace, including energy-dissipation bars and ter-

minated bars; Aut = uncracked transformed area of reinforced concrete 

brace section; Lb = length of bonded regions, including middle region 

and end regions (from each corbel face to the work point location); LT 

= total work point–to–work point diagonal length of brace; Lub = total 

length of unbonded regions at both ends of brace, including an addi-

tional unbonded length Lub,add as given by Eq. (2).



67PCI Journal  | November–December 2024

unrealistic intensity could result in unrealistic demands. As 
such, the demands were determined for structures designed 
and analyzed according to FEMA P695,11 which provides a 
widely used methodology to formalize the determination of 
seismic performance factors (for example, the R factor) for 
new proposed lateral-force-resisting systems. The use of this 
methodology was intended to calculate expected demands 
in order to guide future experimental testing of the braces. 
Specifically, if future experimental research can demonstrate 
that the proposed brace can satisfy the demands quantified 
in this paper, then frame structures using these braces can be 
designed to satisfy the collapse performance requirements of 
FEMA P695.

The demand quantification analyses were conducted using the 
44 ground motion records prescribed by FEMA P695. In this 
methodology, each ground motion was first normalized by its 
respective peak ground velocity. Then, each archetype was 
subjected to this normalized set of 44 records at increasing 
intensities (based on the median spectral acceleration of the 
entire set) until the collapse of the structure was deemed to 
occur under at least half of the 44 records. This intensity, re-
ferred to as the median collapse intensity S

ct
, was then used to 

calculate an adjusted collapse margin ratio (ACMR)11 for the 
archetype, where a higher ACMR indicates a lower probabili-
ty of collapse.

Oh et al.8 found that brace failure is the governing collapse 
criterion for precast concrete frames with conventional steel 
buckling-restrained braces. In the proposed structure with 
reinforced-concrete braces, this failure would be reached 
when the energy-dissipation bars reach their maximum 
ductility capacity or cumulative ductility capacity under 
the required condition that buckling of the bars across the 
end gaps is prevented. Rodriguez et al.22 conducted tests of 
buckling-restrained reinforcing bars in Mexico (compara-
ble to ASTM A70614 Grade 60 [410 MPa] reinforcing bars) 
subjected to large tension-compression strains, similar to the 
intended use of the energy-dissipation bars in the proposed 
brace. The results showed that when buckling was prevented, 
the tested bars could reach total strain ranges of at least 0.15 
(an applied maximum tension-compression strain range of 
0.12 to -0.03), corresponding to a maximum ductility range 
of 72.5 and cumulative ductility of over 500. Based on these 
test results, a maximum ductility range of 58 (corresponding 
to an approximate total strain range of 0.12) and cumulative 
ductility of 350 were assumed for the energy-dissipation bars 
in all the archetypes in this study.

Table 3 shows the ACMR values and corresponding median 
collapse intensity S

ct
 values using the brace maximum ductil-

ity and cumulative ductility failure criteria above for each ar-
chetype. As described in Oh et al.,8 these ACMR values were 
determined by identifying the lowest ground motion intensity 
(spectral acceleration) that caused failure of each archetype 
under half (22) of the record set. The archetype demands pre-
sented in the next section correspond to this median collapse 
intensity level for the 44 records.

This procedure resulted in a different median collapse 
intensity S

ct
 for each of the 26 archetypes when they were 

subjected to the FEMA P695 ground motion set. Nonlinear 
static pushover analyses of the archetypes were also conduct-
ed to determine the system overstrength per FEMA P695. 
The results of these analyses (Table 3) show that the precast 
concrete archetypes with concrete buckling-restrained braces 
had the same system overstrength factor Ω

0
 of 2.5 as for 

precast concrete frames with steel braces as well as for steel 
buckling-restrained braced frames.1 This is important for the 
dynamic demand evaluation because structures with higher 
overstrength would be expected to result in lower seismic 
deformation demands. The dynamic analysis results confirm 
that all the archetypes satisfied the minimum ACMR limits 
corresponding to acceptable collapse probabilities based on 
FEMA P695. As stated previously, this indicates that if future 
experimental research can demonstrate brace capacities that 
satisfy the performance targets—or demands—quantified in 
this paper, structures using these braces would likely satisfy 
the seismic collapse criteria in FEMA P695.

Per FEMA P695, the value of the R factor used in design is 
deemed acceptable when both of the following conditions are 
satisfied:

•	 The average ACMR for the archetypes in each perfor-
mance group is greater than or equal to the 10% ACMR 
limit.

•	 The ACMR value for each archetype is greater than or 
equal to the 20% ACMR limit.

The 10% and 20% ACMR limits used for the archetype 
frames in Table 3 are the same as those used for precast 
concrete frames with conventional steel buckling-restrained 
braces investigated by Oh et al.8 These same minimum ACMR 
limits were selected to allow for more direct comparisons 
between structures designed using the same R factor of 8 but 
with different types of braces (reinforced concrete versus 
steel). As described in Oh et al.,8 the FEMA P695 minimum 
ACMR limits are based on a total system collapse uncertainty 
calculated from a prescribed record-to-record variability and a 
qualitative assessment of uncertainties in design requirements, 
test data, and modeling for the proposed system. In this study, 
all three uncertainties were rated as “good,” resulting in 
minimum ACMR limits of 1.96 and 1.56 for 10% and 20% 
collapse probabilities, respectively. More information on these 
ACMR limits can be found in Oh et al.8 The minimum ACMR 
limits would increase with greater uncertainty, resulting in 
larger quantified seismic demands for the system.

Demand quantification results

The dynamic analyses of the 26 archetypes under the 44 ground 
motion records (scaled collectively to the median collapse 
intensities S

ct
 listed in Table 3) resulted in a total of 26 × 44 

= 1144 values for each demand considered, which included 
the maximum brace ductility μ

max
, maximum cumulative brace 
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Table 3. Summary of nonlinear pushover and dynamic analysis results of archetype frames with reinforced- 
concrete braces

Performance 
group

Archetype design 
identifier*

Overstrength and collapse parameters

Ω0 Sct ACMR ACMR limit†

1

1SD1 2.31 1.30 2.07 1.56

1SD2 1.99 1.68 2.45 1.56

1SD3 1.90 1.72 2.36 1.56

Group 1 mean 2.06 1.57 2.29 1.96

2

2SD1 2.55 1.30 2.05 1.56

2SD2 1.95 1.47 2.14 1.56

2SD3 1.86 1.51 2.07 1.56

4SD1 2.21 1.51 2.37 1.56

4SD2 1.72 1.60 2.15 1.56

Group 2 mean 2.06 1.48 2.16 1.96

3

1SD6 2.31 1.85 2.45 1.56

1SD9 3.33 1.47 1.81 1.56

2SD6 2.00 1.68 2.28 1.56

2SD9 2.50 1.22 1.57 1.56

Group 3 mean 2.53 1.55 2.03 1.96

4

2CC1 2.76 1.30 2.11 1.56

2CC2 1.84 1.51 2.20 1.56

2CC3 1.72 1.47 2.01 1.56

5CC1 2.25 1.26 2.05 1.56

5CC2 1.58 1.51 2.20 1.56

Group 4 mean 2.03 1.41 2.12 1.96

5

2CC4 1.56 1.55 2.13 1.56

2CC6 1.75 1.68 2.42 1.56

2CC9 2.23 2.23 3.08 1.56

Group 5 mean 1.85 1.82 2.54 1.96

6

2ZZ2 1.95 1.47 2.14 1.56

2ZZ3 1.88 1.51 2.07 1.56

4ZZ2 1.72 1.60 2.15 1.56

Group 6 mean 1.85 1.53 2.12 1.96

7

2ZZ4 1.73 1.55 2.08 1.56

2ZZ6 2.17 1.85 2.62 1.56

2ZZ9 2.76 1.51 1.98 1.56

Group 7 mean 2.22 1.64 2.22 1.96

Note: ACMR = adjusted collapse margin ratio; Sct = median collapse intensity; Ω0 = system overstrength factor.

* The first character is the building plan number, the next two characters indicate the brace configuration (SD for single diagonal, ZZ for zigzag, and CC 

for chevron), and the last character is the number of stories.

† Per FEMA P695, the ACMR limit listed for the individual archetypes is for 20% collapse probability and the ACMR limit listed for the performance 

group mean is for 10% collapse probability.
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ductility μ
c
, maximum brace end gap closure Δ

b,gap
, maximum 

interstory drift Δ
story

, and maximum design story drift Δ
d,max

. 
As an example, Fig. 6 shows the maximum brace ductility 
μ

max
 demands for the 26 archetypes plotted against the spectral 

acceleration of the 44 records at the fundamental period of 
each archetype (after the ground motion set was collectively 
scaled to the median S

ct
 intensity for the archetype). For clarity, 

approximately 5% of the data points were removed from this 
graph as outliers, determined using the standard interquartile 
range method from statistical analysis.

Table 4 summarizes the median demands (that is, required 
capacities) to meet the minimum ACMR limits in Table 3 for 
each archetype. These demands are discussed in more detail 
in the following sections.

Maximum interstory drift

Maximum interstory drift demand Δ
story

 was calculated using 
the lateral displacements of the two columns in each story of 
each archetype frame. For each column, the story drift was 
calculated by dividing the relative horizontal displacement of 
the work points immediately above and below the story by 
the height of the story. The larger of the two drift values from 
these columns was taken as the governing interstory drift and 
the largest drift across all stories was taken as the maximum 
interstory drift for the archetype.

The analysis results in Table 4 show an overall median Δ
story

 
demand of 4.21%, with a coefficient of variation of 1.46 (with 
outliers removed [about 5% of the data], the median demand 
was 4.13%, with a coefficient of variation of 0.33). Across the 
performance groups, the median Δ

story
 demand ranged from 

4.11% to 4.35%. However, the design of the braces is typi-
cally based on brace axial deformations estimated using an 
idealized shear frame assumption.8 This is investigated in the 
section titled “Maximum Design Story Drift.”

Maximum design story drift

As described in Oh et al.8 and Kersting et al.,23 the brace axial 
deformations Δ

b
 used in the design of a buckling-restrained 

frame structure are typically determined based on an idealized 
shear frame assumption that ignores the axial deformations of 
the beam and column components of the frame. This approx-
imation uses Eq. (3) to estimate Δ

b
, which is then used to 

design the braces.

	 Δb = h2 + w+ Δd ,maxh( )2 − LT � (3)

where

h	 = work point–to–work point height of the brace, 
where the work points are located at the intersec-
tions of the brace centerline with the centerlines of 
the beam and column components of the frame

w	 = work point–to–work point horizontal projection 
length of the brace

The maximum brace axial deformation demand Δ
b,max

 from 
each dynamic analysis of each archetype was used as Δ

b
 in 

Eq. (3) to back calculate the corresponding maximum design 
story drift demand Δ

d,max
. The median Δ

d,max
 demand across 

all archetypes was 3.87% (Table 4), with a coefficient of 
variation of 1.73 (3.76% and 0.34, respectively, with outliers 
removed). The range of median Δ

d,max
 across the performance 

groups was 3.77% to 4.00%, indicating that brace deforma-
tions calculated from a maximum design story drift Δ

d,max
 of 

4% should be targeted in future design and experimental test-
ing to demonstrate ductile behavior of the novel brace. The ar-
chetypes in this paper were designed for a smaller maximum 
design story drift Δ

d,max
 of 3%. The possible implications of 

this discrepancy in the design of the archetypes are considered 
in the subsequent sections.

Figure 6. Maximum brace ductility demands, with outliers removed.
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Table 4. Maximum demands under ground motion set scaled to median collapse intensity for each archetype

Performance 
group

Archetype design 
identifier*

Median demands

μmax μc Δb,gap, in. Δd,max, % Δstory, % Δd,max/Δstory

1

1SD1 51 291 2.74 3.75 4.03 0.93

1SD2 49 282 2.89 4.09 4.47 0.92

1SD3 49 303 2.72 3.81 4.24 0.90

Group 1 median 50 291 2.80 3.86 4.25 0.92

2

2SD1 51 260 2.71 3.68 4.03 0.92

2SD2 49 290 2.74 3.80 4.14 0.92

2SD3 52 311 2.77 3.89 4.27 0.91

4SD1 51 285 4.46 3.64 3.92 0.93

4SD2 48 261 4.45 3.65 3.98 0.92

Group 2 median 50 279 3.24 3.77 4.13 0.92

3

1SD6 49 308 2.73 4.02 4.34 0.93

1SD9 46 292 2.29 3.36 3.72 0.92

2SD6 46 278 2.75 3.90 4.33 0.91

2SD9 46 323 2.58 3.74 4.03 0.92

Group 3 median 46 297 2.63 3.78 4.11 0.92

4

2CC1 51 262 2.71 3.69 3.96 0.94

2CC2 49 274 2.97 4.04 4.43 0.95

2CC3 51 256 2.86 3.88 4.16 0.93

5CC1 50 259 2.31 3.97 4.13 0.96

5CC2 51 290 2.52 4.28 4.60 0.93

Group 4 median 51 271 2.65 3.94 4.25 0.94

5

2CC4 48 245 2.98 4.07 4.33 0.93

2CC6 47 267 2.87 3.90 4.30 0.93

2CC9 50 256 2.95 4.01 4.39 0.93

Group 5 median 48 258 2.94 4.00 4.33 0.93

6

2ZZ2 49 290 2.74 3.80 4.14 0.92

2ZZ3 53 312 2.76 3.90 4.26 0.91

4ZZ2 48 261 4.45 3.65 3.98 0.92

Group 6 median 49 285 3.09 3.77 4.15 0.91

7

2ZZ4 49 275 2.78 3.80 4.22 0.90

2ZZ6 47 270 2.89 4.13 4.51 0.91

2ZZ9 47 308 2.65 3.85 4.24 0.90

Group 7 median 48 283 2.78 3.95 4.35 0.91

Overall median 49 280 2.84 3.87 4.21 0.92

Note: Δb,gap = maximum brace end gap closure; Δd,max = maximum design story drift; Δstory = maximum interstory drift, μc = maximum cumulative brace 

ductility; μmax = maximum brace ductility.

* The first character is the building plan number, the next two characters indicate the brace configuration (SD for single diagonal, ZZ for zigzag, and CC 

for chevron), and the last character is the number of stories.
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To evaluate the accuracy of the simplified shear frame as-
sumption used in design, Table 4 also provides the median ra-
tio of the maximum design story drift demand Δ

d,max
 (calculat-

ed from the maximum brace axial deformation demand Δ
b,max

) 
to the corresponding maximum interstory drift demand Δ

story
 

(the actual interstory drift demand calculated from the top and 
bottom work-point lateral displacements of all columns in the 
structure) from the dynamic analyses of each archetype. The 
results show a median ratio of 0.92 across all archetypes, with 
a coefficient of variation of 0.02. Thus, the maximum design 
story drift demand Δ

d,max
 was consistently slightly smaller 

than the actual maximum interstory drift Δ
story

, which can be 
attributed to the fact that braced frames do not exhibit perfect 
shear story behavior. Specifically, elongations of the column 
and beam components after cracking allow the structure to 
reach greater interstory drifts than a perfect shear frame with 
the same brace deformations. These results confirm that the 
shear frame assumption used in design is slightly conservative 
and reasonable, allowing for a simple design procedure for the 
braces.

Maximum brace ductility

The maximum brace ductility demand μ
max

 was calculated as 
follows:
	 μ

max
 = Δ

b,max
/Δ

by

where

Δ
by

	 = brace axial deformation at yield of the energy-dissi-
pation bars

The maximum brace ductility demand was calculated as the 
absolute sum (that is, total range) of the maximum com-

pression and tension brace ductility demands over the entire 
dynamic analysis history. For example, if a brace experienced 
a maximum tension ductility demand of +35 and a maximum 
compression ductility demand of –10 during an earthquake, 
the corresponding maximum brace ductility demand μ

max
 was 

calculated as (35) – (-10) = 45.

The analysis results in Table 4 show an overall median μ
max

 
demand of 49 with a coefficient of variation of 1.32 (48 and 
0.31, respectively, with outliers removed). To satisfy FEMA 
P695 requirements, the brace ductility capacity should be at 
least equal to the largest median demand out of all perfor-
mance groups. Thus, based on the performance group median 
demands in Table 4, future experimental research should 
demonstrate a brace ductility μ

max
 of 51 to satisfy the target 

seismic performance factors under the FEMA P695 proce-
dure. Because the ductility capacity of the proposed brace is 
governed by the performance of the energy-dissipation bars, 
a total strain range of approximately 0.11 would achieve this 
target performance for braces using Grade 60 (410 MPa) 
energy-dissipation bars. The test results in Rodriguez et al.22 
show that this total strain range is achievable for reinforcing 
bars that are prevented from buckling.

To provide additional insight into the brace strain demands, 
Figure 7 shows the maximum tension and compression strains 
within the 0.11 strain range limit for 148 of the most critical 
maximum brace ductility demands from the dynamic analyses 
of the archetypes. The results show a maximum compression 
strain demand of about 0.08 and a maximum tension strain 
demand of about 0.09, which exceeds the maximum usable 
tensile strain limit ε

s,max
 of 0.06 that was assumed in the design 

of the archetype frames. This discrepancy occurred because the 
unbonded lengths of the energy-dissipation bars in the arche-

Figure 7. Maximum tension and compression strain demands for 148 most critical braces.
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types were designed for a maximum design story drift Δ
d,max

 of 
3%, which is smaller than the maximum demand of 4% from 
the dynamic analyses of the archetypes. The energy-dissipation 
bar strains would be within the ±0.06 range for future arche-
types with longer unbonded lengths designed based on the 
recommended maximum design story drift of 4%. As such, fu-
ture experimental testing of braces should consider symmetric 
cyclic loading to approximately ±0.06 strain in the energy-dis-
sipation bars, which would also satisfy the total strain range of 
0.11 obtained from the dynamic analyses.

If future experimental studies discover that the ±0.06 strain 
range is not achievable for the energy-dissipation bars, further 
increasing the unbonded lengths of the braces may be effec-
tive in lowering the maximum strain demands. Increasing the 
unbonded length spreads the brace deformations over a longer 
length of the bars, reducing the maximum bar strains reached 
at the same story drift. However, this change would also re-
duce the bonded lengths of the braces, which may negatively 
affect the intended performance of the brace in these regions 
in providing development length for the energy-dissipation 
bars and additional stiffness to the brace in compression.

Maximum cumulative brace ductility

The maximum cumulative brace ductility demand μ
c
 was 

calculated as follows:
	 μ

c
 = ΣΔ

b,inelastic
/Δ

by

where

Δ
b,inelastic

	= inelastic brace axial deformation (the Σ in the equa-
tion indicates the summation of the inelastic brace 
deformations over the entire dynamic response 
history)

As shown in Table 4, the overall median maximum cumula-
tive brace ductility demand μ

c
 from the dynamic analyses of 

the archetypes was 280 with a coefficient of variation of 0.65 
(274 and 0.39, respectively, with outliers removed). The medi-
an demands for the different performance groups ranged from 
258 to 297. Thus, a target cumulative brace ductility μ

c
 of 297 

is recommended to result in archetypes that satisfy FEMA 
P695 performance criteria, which corresponds to a total 
cumulative inelastic strain of approximately 0.62 for Grade 60 
(410 MPa) energy-dissipation bars. Based on the test results 
in Rodriguez et al.,22 this cumulative inelastic strain capacity 
is achievable for reinforcing bars that are prevented from 
buckling. If deemed necessary based on future experiments, 
it may be possible to reduce the maximum cumulative strain 
demands of the energy-dissipation bars by increasing the 
length of the unbonded regions, similar to the maximum strain 
demands discussed in the previous section.

Maximum brace end gap closure

The proposed reinforced-concrete brace can fail if both end 
gaps fully close, causing the brace concrete to bear directly 

against the corbel region. Ensuring that the gap width is large 
enough to prevent this failure mode while also small enough 
to minimize the laterally unsupported length of the ener-
gy-dissipation bars is critical to the design of the braces. Thus, 
the maximum end gap closure demand Δ

b,gap
 has important 

implications for achieving the aforementioned brace ductility 
capacities by quantifying the minimum required width of the 
end gaps.

The maximum brace end gap closure demands were deter-
mined from the maximum axial deformation demands of the 
braces in compression. Table 4 shows a median gap closure 
demand Δ

b,gap
 of 2.84 in. (72.1 mm) for each end gap with 

a coefficient of variation of 1.00 (2.75 in. [70.0 mm] and 
0.35, respectively, with outliers removed). The median Δ

b,gap
 

demands across the performance groups ranged from 2.63 
to 3.24 in. (66.8 to 82.3 mm); however, archetypes 4SD1, 
4SD2, and 4ZZ2 had significantly larger gap closure de-
mands of 4.46, 4.45, and 4.45 in. (113, 113, and 113 mm), 
respectively. This may be expected because these archetypes 
had larger story heights of 25 ft (7.6 m), resulting in larger 
brace deformations and, thus, larger gap closures based on 
the design procedure described in Oh et al.9 Looking only at 
the archetypes with a 15 ft (4.6 m) story height, the overall 
median maximum brace end gap closure Δ

b,gap
 was 2.74 in. 

(69.6 mm) with a coefficient of variation of 0.60 (2.68 in. 
[68.1 mm] and 0.33, respectively, with outliers removed), and 
the performance group medians ranged from 2.63 to 2.94 in. 
(66.8 to 74.7 mm).

From these results, a minimum end gap width of approxi-
mately 3 in. (76 mm) was needed for the archetypes with 15 ft 
(4.6 m) story height in this study, while a gap width of about 
5 in. (127 mm) should be designed for structures with 25 ft 
(7.6 m) story height. Both of these values are consistent with 
the design gap widths calculated using a maximum design 
story drift Δ

d,max
 of 4% under the design procedures of Oh et 

al.9 This provides further evidence that, in order to result in 
archetypes that satisfy FEMA P695 performance criteria, the 
brace deformation demands should be determined based on a 
target design story drift of 4%.

Conclusion

This study investigated the minimum capacities needed for 
the proposed reinforced-concrete buckling-restrained brace 
in precast concrete braced frames that satisfy FEMA P695 
performance criteria for seismic design category D

max
 and a 

response modification coefficient (R factor) of 8. A set of 26 
archetype braced frames were designed to represent the ex-
pected design space of the structural system. Nonlinear static 
pushover analyses were conducted to determine the system 
overstrength factor and to ensure that the archetypes were not 
overdesigned. Then, incremental nonlinear dynamic response 
history analyses were conducted to quantify the maximum 
demands under a set of 44 ground motion records collectively 
scaled to the median collapse intensity for each archetype per 
FEMA P695. The following conclusions from this paper may 
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be limited to the archetype frames designed for the study, the 
numerical modeling and analysis parameters, and the mini-
mum ACMR limits used in the demand quantification:

•	 Precast concrete frames using the proposed brace have 
lower lateral stiffness compared with precast concrete 
frames using conventional steel buckling-restrained brac-
es. This difference is largely due to the cracking of con-
crete and the higher grade of steel (Grade 60 [410 MPa]) 
for the energy-dissipation bars in concrete braces com-
pared with lower steel yield strengths in steel braces.

•	 The simplified shear frame assumption provides a con-
servative and reasonable approximation to determine the 
brace axial deformations at the maximum design story 
drift Δ

d,max
.

•	 For structures in high seismic regions, the unbonded 
lengths and end gap widths of the braces should be 
designed for a maximum design story drift Δ

d,max
 of 4% 

using the aforementioned shear frame assumption. Based 
on the maximum brace end gap closure demands Δ

b,gap
 

for the archetypes in this study, the required end gap 
width was 3 in. (76 mm) for frames with 15 ft (4.6 m) 
story heights and 4.5 in. (114 mm) for frames with 25 ft 
(7.6 m) story heights.

•	 Braces with capacities meeting at least a ductility μ
max

 
of 51 and a cumulative ductility μ

c
 of 297 are needed for 

braced frame structures in high seismic regions to satisfy 
the median collapse performance criteria in FEMA P695.

•	 For archetypes designed using the recommended max-
imum design story drift of 4%, experimental testing of 
braces should consider symmetric cyclic loading to ±0.06 
strain range in the energy-dissipation bars in order to 
reach the aforementioned brace ductility capacities.

The study described in this paper is not a FEMA P695 study 
to validate seismic performance factors (for example, R fac-
tor) by modeling the failure and collapse of the new braced 
frame system. Rather, the paper uses the FEMA P695 meth-
odology and prescribed earthquake ground motions to guide 
future experimental research on minimum capacities that 
brace specimens intended for high seismic application should 
be designed and validated for through testing. In accordance 
with this aim, the braces in the archetype structures analyzed 
in the paper were assumed to be designed such that their 
failure occurs beyond these minimum capacities. As such, 
modeling the failure of the braces was not targeted in the 
numerical analyses.

Future experimental research is needed to demonstrate that 
the new brace can be designed and detailed to achieve the 
recommended target performance limits (minimum ca-
pacities). After such successful future testing, the ultimate 
adoption of this braced frame system will require a FEMA 
P695 study using numerical models that can accurately 

capture failure based on the experimental results. These tests 
should include isolated braces, braced frame subassemblies, 
and multistory frames and buildings including different 
brace configurations (such as chevron and single diagonal) 
to provide substantial experimental validation for this novel 
system.
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A
ut
	 = uncracked transformed area of reinforced concrete 

section

C
d
	 = deflection amplification factor per ASCE/SEI 7-16

d
b
	 = diameter of energy-dissipation bar

D
max

	 = upper bound of seismic design category D per 
FEMA P695

E
b
	 = effective modulus of elasticity of bonded regions

E
c
	 = modulus of elasticity of concrete

E
s
	 = modulus of elasticity of energy-dissipation bars

′fc 	 = specified design compressive strength of concrete

f
sy
	 = specified design yield strength of reinforcing bars

f
y,max

	 = maximum expected yield strength of energy-dissi-
pation bars

f
y,min

	 = minimum expected yield strength of energy-dissi-
pation bars

h	 = work point–to–work point height of brace

k
b
	 = effective axial stiffness of bonded regions

k
ub

	 = effective axial stiffness of unbonded regions

KF	 = stiffness modification factor

L
b
	 = length of bonded regions

L
T
	 = total work point–to–work point diagonal length of 

brace

L
ub

	 = total length of unbonded regions at both ends of 
brace

L
ub,add

	 = total additional unbonded length due to debonding 
of the energy-dissipation bars

M
u
	 = factored design moment of beam or column

N
u
	 = factored design axial force of brace

P
u
	 = factored design axial force of beam or column

R	 = seismic response modification coefficient per 
ASCE/SEI 7-16

S
ct
	 = median collapse intensity

w	 = work point–to–work point horizontal projection 
length of brace

α
b
	 = coefficient quantifying effective additional unbond-

ed length due to debonding of the energy-dissipa-
tion bars 

Δ
b
	 = brace design axial deformation

Δ
b,gap

	 = maximum brace end gap closure

Δ
b,inelastic

	= inelastic brace axial deformation

Δ
b,max

	 = maximum brace axial deformation

Δ
by

	 = brace axial deformation at yield of energy-dissipa-
tion bars

Δ
d,max

	 = maximum design story drift

Δ
story

	 = maximum interstory drift

ε
s,max

	 = design usable tensile strain limit of energy-dissipa-
tion bars

μ
c
	 = maximum cumulative brace ductility

μ
max

	 = maximum brace ductility

ω	 = strain hardening factor

Ω
0
	 = system overstrength factor per ASCE/SEI 7-16
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Abstract

This study numerically investigated the dynamic seismic 
response of multistory precast concrete frame structures 
using a novel reinforced-concrete buckling-restrained 
brace component. The maximum demands on the braces 
were quantified with the intent to guide future experi-
mental testing and validation according to the collapse 

performance requirements of FEMA P695. A set of 26 
braced frame archetypes were designed using seismic 
procedures consistent with current U.S. building code 
requirements, and effective linear-elastic as well as non-
linear numerical models of these frame structures were 
developed. In addition to monotonic static pushover 
analyses, the nonlinear archetype models were subjected 
to a set of 44 scaled ground motion records to quantify 
the system overstrength factor, maximum interstory 
drift, design story drift, brace ductility, cumulative brace 
ductility, and end gap closure. It was found that braces 
designed for a maximum design story drift of 4% and 
demonstrating ductility capacities of at least 51 and 
cumulative ductility capacities of at least 297 are needed 
for braced frame structures in high seismic regions 
to satisfy the median collapse performance criteria in 
FEMA P695.
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